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Abstract—This article presents a high-power-density high-
efficiency soft-switched single-phase universal input to 28-V iso-
lated ac—dc converter module designed for parallel operation. The
proposed two-stage converter utilizes a totem-pole bridgeless boost
power factor correction (PFC) ac—dc converter stage followed by
an isolated LLC resonant dc—dc converter stage. A comprehensive
design and optimization methodology is presented that compares
various designs and operating modes for the converter’s power
stages and selects the optimal design based on overall power density
and efficiency. Additionally, a control scheme is presented for the
PFC stage to minimize current distortion by accounting for various
sensor, control, and gate-drive delays while ensuring zero-voltage
switching (ZVS) of the transistors. Moreover, a new droop control
strategy is presented, which utilizes the input current of the LLC
dc—dc stage to ensure equal output current distribution between
paralleled modules powering a common output load. To validate
the proposed design and control strategy, two 1-kW universal input
to 28-V isolated ac-dc converter modules are built and tested.
Each prototype converter module achieves a high power density of
84 W/in® and a peak efficiency of greater than 93% while ensuring
a current distribution error of less than 0.3% when operating in
parallel to deliver the maximum output power of 2kW.

Index Terms—AC-DC power conversion, boundary conduction
mode (BCM), bridgeless power factor correction (PFC), de—dc
power conversion, digital control, droop control, galvanic isolation,
parallel operation, rectifier, soft-switching, zero-voltage switching
(ZVS).

I. INTRODUCTION

TEP-DOWN isolated ac—dc power converters are exten-
sively utilized in several applications, including military,
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aerospace, medical, lighting, and data centers [1]. In such appli-
cations, an isolated ac—dc converter needs to satisfy multiple
performance specifications, including stringent EMI require-
ments [2]. Additionally, ever-increasing space and energy uti-
lization constraints in modern applications have made power
density and efficiency a key performance requirement for such
power converters [3], [4]. Existing state-of-the-art isolated ac—dc
power converters can be broadly categorized into single-stage or
two-stage architectures [5], [6]. Single-stage ac—dc converters
typically utilize a line-frequency bridge rectifier followed by
an isolated dc—dc converter, such as isolated pulsewidth modu-
lated (PWM) converters [7]—[11] or isolated resonant converters
[12]-[16]. In such architectures, the isolated dc—dc converter
performs multiple functions including input power factor cor-
rection (PFC) and output dc voltage regulation. Single-stage
low-output-voltage ac—dc converter architectures have potential
for a lower component count and higher efficiencies but often
suffer from lower power densities. The reason stems from the
fact that in such architectures, the twice-line-frequency energy
buffering capacitor is placed at the output of the converter.
Thus, a very large output capacitor is required to keep the
twice-line-frequency voltage ripple within the output voltage
regulation requirements. On the contrary, in two-stage ac—dc
converters, the PFC function is performed by a front-end ac—dc
stage and the output voltage regulation function is accomplished
by the isolated dc—dc stage [6]. An intermediate dc bus is utilized
between the two conversion stages for twice-line-frequency
energy buffering. This decouples the energy buffering and output
voltage regulation functions, resulting in a reduction in overall
capacitance requirement. As a result, the two-stage architec-
tures can achieve high power densities exceeding 50 W/in® (3.1
W/em?) [17]-[22].

Extensive research has been reported in the literature to
enhance the performance of two-stage ac—dc converters by
proposing rigorous design and optimization methodologies in
[19], [23], and [24], by devising new topological innovations
in [25]-[29], and by utilizing new soft-switching techniques in
[15]-[18], [20], and [22]-[33]. However, such performance ben-
efits often come at the cost of higher overall switch count, which
increases design complexity and/or requires complex control
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Fig. 1. EMI limits imposed on ac—dc converters by FCC-Part 15/CISPR-22
and MIL-STD 461G.

strategies. Additionally, limited research is available to evaluate
the performance of two-stage architectures for compliance with
the more stringent MIL-STD-461G EMI requirements, which
impose regulations starting at a lower frequency (10 kHz) as
compared to 150 kHz in FCC-Part 15 or CISPR regulations, as
shown in Fig. 1 [34], [35].

Paralleled converter operation is also preferred in many high
power applications as it enables modularity and improved fault
tolerance and reliability due to redundancy [36], [37]. Recently,
various paralleling strategies have been proposed that utilize
either centralized or decentralized control architectures to en-
able equal load current distribution among paralleled converter
modules [38]-[47]. Centralized (or master—slave) control archi-
tectures allow high conversion efficiency and tight output voltage
regulation [38], [39]. However, they suffer from lower overall
system reliability due to a single master controller which in case
of a fault acts as a single point of failure hence rendering the
whole system inoperable. On the contrary, decentralized archi-
tectures utilize multiple autonomous power converter modules to
ensure equal load current distribution. Such system architectures
are beneficial as they do not result in full system failure in
the case of a single fault in an individual module. Popular
decentralized control architectures for power conversion sys-
tems utilizing multiple paralleled modules mainly comprise of
a droop controller which varies the output voltage of a converter
module based on the magnitude of its output current. Several
output current-based droop control strategies are presented in
the literature, which ensures equal output load current distri-
bution while maintaining a stable output dc voltage [40]-[47].
However, these control strategies require output current sensing,
which is challenging in isolated low-output-voltage high-power
converters where large magnitudes of output currents are in-
volved. Furthermore, limited research is available to evaluate
the performance of droop controllers in two-stage isolated ac—dc
conversion architectures, especially in low output voltage (under
48 V) applications.

This article presents a high-power-density high-efficiency
soft-switched single-phase universal-input to 28-V isolated ac—
dc converter module designed for parallel operation. The pro-
posed two-stage converter utilizes a totem-pole bridgeless boost
PFC converter stage followed by an isolated LLC resonant
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Fig. 2. Power conversion architectures considered in the design of the pro-

posed two-stage ac—dc converter comprising a totem-pole bridgeless boost
converter and an LLC resonant converter.

dc—dc converter stage and is designed to meet MIL-STD-461G
EMI specifications. A comprehensive design methodology is
presented, which compares various designs and operating modes
for the power stages of the converter module and selects the
optimal design based on the overall efficiency and power density.
For the selected design, a control scheme is presented for the
PFC stage which accounts for various sensor, control, and gate-
drive delays to minimize input current distortion and achieve
a high input power factor while operating under soft-switched
boundary-conduction mode. Additionally, a new droop control
strategy is presented to enable equal output current distribution
between paralleled modules when powering a common output
load. The proposed droop control strategy employs the input
current of the LLC dc—dc conversion stage along with a variable
droop resistance to minimize sensing complexity associated with
conventional output-current-based droop control strategies. To
validate the proposed design and control strategy, two 1-kW
universal-input to 28-V isolated ac—dc converter modules are
built and tested. Each prototype converter module achieves a
high power density of 84 W/in® (5.126 W/cm?) and a peak effi-
ciency of greater than 93% while ensuring a current distribution
error of less than 0.3% when operating in parallel to deliver the
maximum output power of 2 kW.

The rest of this article is organized as follows. Section II
presents the system design and optimization to maximize the
overall power density and efficiency of the proposed ac—dc con-
verter. Control strategy for the PFC stage and the droop control
strategy for the LLC dc—dc stage are presented in Sections IIT and
IV, respectively. Experimental results validating the operation
of individual isolated ac—dc converter modules as well as their
operation in parallel mode are presented in Section V. Finally,
Section VI concludes this article.

II. SYSTEM DESIGN AND OPTIMIZATION

The architecture of the proposed two-stage ac—dc converter
is shown in Fig. 2. It comprises a front-end totem-pole PFC
ac—dc stage that is followed by an isolated LLC dc—dc stage.
To obtain a high-power-density and high-efficiency converter, a
design and optimization methodology is presented. The design
methodology co-optimizes the volume and efficiency of the ac—
dc converter by optimally selecting the operating modes of the
PFC stage, the number of EMI filter stages across various oper-
ating modes (continuous conduction and boundary conduction),
and switching frequencies. Moreover, a design approach for
the LLC dc—dc stage is presented to maximize its efficiency by
considering various topologies for its inverter and rectifier. For
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TABLE I TABLE IT
SPECIFICATIONS OF THE ISOLATED AC-DC CONVERTER DESIGN SPACE FOR CCM PFC STAGE AND BCM PFC STAGE
Input Voltage 85-260 Vi . 100kHz -300kHz
Operating Frequency )
Line Frequency 47-63 Hz (increments of 5kHz)
Peak Inductor Current 10% - 100%
Output Voltage 28 Vp¢
ccM | Ripple (increments of 5%)
Maximum Output Voltage Ripple | 560 mVpyx_pi
EMI Filter Stages 2,3
Output Power 1 kW
PEC Ind . RM 14, PQ40/40,
EMI li MIL-STD-461 nductor Cores
Compliance STD-461G PQ50/50, PM50/39
15uH - S0pH
Inductance
iL (increments of 1uH)
BCM | EMI Filter Stages 2,3
(i) RM14, PQ40/40,
2 PFC Inductor Cores
PQ50/50, PM50/39
associated with both operating modes. Further details related to
) @ the loss model are presented in Appendix A.
ly, The choice of PFC stage’s operating mode also influences the
required attenuation by the input EMI filter and affects its volume
(iL) and efficiency. Therefore, the design strategy incorporates both
— " | the design of the input EMI filter and the PFC stage to achieve
the overall optima in terms of efficiency and volume for the
EMI filter and the PFC stage. As specified in Table I, the ac—dc
converter needs to adhere to MIL-STD 461G EMI regulations.
b Therefore, the EMI filter design accounts for the noise limits
®) specified by the solid-blue line in Fig. 1.
Fig. 3. Time exaggerated view of the instantaneous inductor current (solid For the CCM operation, the optimization is performed across

red line) and average inductor current (dashed blue line) while the PFC stage is
operating under (a) CCM and (b) BCM.

the overall ac—dc conversion system, all design optimizations
are performed for the specifications listed in Table L.

A. Totem-Pole Boost PFC Stage Design

For the design of the totem-pole boost PFC stage, two operat-
ing modes are considered: continuous conduction mode (CCM)
and boundary conduction mode (BCM). A time-exaggerated
view of the inductor current in both these operating modes is
shown in Fig. 3. During CCM operation, the inductor current has
a smaller peak-peak ripple and rms value, but the PFC stage’s
switches would incur switching losses due to hard-switching.
These switching losses include v—i overlap losses and output
capacitance losses. In the case of BCM operation, the PFC stage
switches will achieve zero-voltage switching (ZVS) resulting in
negligible output capacitor losses and lower v-i overlap losses.
However, the inductor current ripple and its rms value will
be higher, which can lead to higher conduction losses in the
switches and winding and core losses in the PFC inductor. There-
fore, the PFC stage design strategy accounts for the tradeoffs

switching frequency and PFC inductor current ripple, which in
turn determines the PFC inductance and the differential-mode
(DM) EMI filtering requirements. For BCM operation, the op-
timization is performed across PFC inductance value, which in
turn determines the operating frequency range of the PFC stage
and the DM EMI filtering requirements. For the DM input EMI
filter, multistage (2 and 3 stages) EMI filters are considered. For
the efficiency estimation of the PFC stage, detailed loss models
are developed, which estimate winding and core losses in the
EMI filter and PFC inductors and switching and conduction
losses in the PFC switches. Finally, a design space is defined for
each of the above-mentioned operating modes and is shown in
Table II. To only consider a design with inductor volume below
a maximum limit, the minimum CCM operating frequency is
kept at 100 kHz and the maximum PFC inductance for the BCM
operation is kept at 50 H. Several inductor cores are considered
for both BCM and CCM designs including RM 14, PQ40/40,
PQ50/50, and PM50/39. The design space is constrained to
only these cores to keep the maximum inductor temperature
under 125 °C (setting a limit on the smallest core size) and
to limit the occupied board area to 24 cm” (setting a limit
on the largest core size). Furthermore, to limit the switching
losses in the devices, the maximum CCM operating frequency
is limited to 300 kHz. Moreover, owing to the limitation of
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sensing circuitry and digital controller, the maximum operating
frequency for BCM operation is limited to 1 MHz (at high-line
input voltage), and therefore the minimum inductance in the
soft-switched design is kept at 15 pH.

The results of the optimization are shown in Fig. 4. Fig. 4(a)
shows the estimated efficiency of the converter for the CCM
design across the range of switching frequency and inductor
current ripple specified in Table II. As can be seen from Fig. 4(a),
the CCM designs with lower peak current ripple and operating
frequencies have lower efficiencies. This is due to the higher PFC
inductance requirement for such low current ripple values, which
leads to higher winding losses for a given maximum volume
limit on the PFC inductor. Fig. 4(b) shows the efficiency for
the BCM design across the PFC inductance range specified in
Table II. The efficiency of the PFC stage remains relatively flat
as a function of PFC inductance. This is due to the reason that the
optimization process selects a different inductor core for each
of the designed inductances while still ensuring that the height
of the PFC stage and EMI filter does not exceed the maximum
limit (to preserve a high power density).

The volume (of the EMI filter and PFC inductor) and effi-
ciency for each of the considered BCM and CCM design is
computed and displayed in Fig. 5(a) and (b), respectively. As
can be seen from the figures, the efficiency tends to increase
as the volume of the PFC stage increases. The Pareto optimal
designs (i.e., the designs that provide the best achievable tradeoff
between efficiency and volume) are extracted from Fig. 5(a) and
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Fig. 5. Efficiencies and normalized volumes of designs evaluated for isolated
ac—dc converter. (a) Designs considered for BCM operation. (b) Designs con-
sidered for CCM operation. (c) Pareto optimal designs for BCM and CCM
operations.

(b) and are shown in Fig. 5(c) for both BCM and CCM designs.
As can be seen from Fig. 5(c), BCM designs are superior to
CCM designs in terms of efficiency at small volumes, whereas
CCM designs are superior to BCM designs in terms of efficiency
at larger volumes. From the Pareto optimal designs shown in
Fig. 5(c), the design with the smallest volume and efficiency
greater than 98% is chosen for the final prototype as indicated in
Fig. 5(c). The selected design utilizes a 15 pH PFC inductance,
has a three-stage EMI filter, and operates under BCM.

For the chosen design of the PFC stage, the switching fre-
quency range is also computed and is given in Fig. 6. The
switching frequency of the BCM controlled PFC stage is a
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Fig. 6. Maximum switching frequency of the PFC stage with an inductance
of 15 pH while operating under BCM (a) as a function of output power when
a 120-V,, input voltage is applied and (b) as a function of rms input voltage
when powering a 1-kW load.

function of the input voltage and output power. Fig. 6(a) shows
the maximum switching frequency of the PFC stage as a function
of output power when it is powered from a 120-V,,s input ac
line. As can be seen, the switching frequency falls as the load
is increased. Moreover, for loads below 70 W, the switching
frequency of the converter is clamped at 780 kHz and below
this power level, the PFC stage is designed to operate in burst
mode. Fig. 6(b) shows the maximum switching frequency of the
PFC stage as a function of rms input voltage when powering a
1-kW load. As can be seen, the switching frequency of the PFC
stage increases with the input voltage. The reason is the lower
average (and peak) inductor currents and higher volt—seconds
applied across the PFC inductor at higher input voltages. Both
these effects result in a lower ON-time for the PFC stage at the
higher input voltages. The OFF-time also reduces as the inductor
current takes less time to discharge to zero. This results in a
decrease in the switching period (ON-time + OFF-time) and an
increase in switching frequency of the PFC stage as the input
voltage increases.

To understand the impact of MIL-STD EMI regulations, rela-
tive to FCC and CISPR regulations, on the volume and efficiency
of the PFC stage and the EMI filter, we have also utilized our
optimization methodology to determine Pareto optimal designs
that target FCC and CISPR EMI regulations. The Pareto optimal
designs for totem-pole bridgeless boost PFC operating under

IEEE TRANSACTIONS ON POWER ELECTRONICS, VOL. 37, NO. 7, JULY 2022
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BCM and targeting either FCC/CISPR or MIL-STD EMI regu-
lations are shown in Fig. 7. As can be seen from this figure, it
is easier to meet FCC/CISPR EMI regulations than MIL-STD
EMI regulations, as the FCC/CISPR compliant Pareto optimal
designs have a smaller volume and/or higher efficiency than the
MIL-STD compliant designs. It is interesting to note, that all the
FCC/CISPR compliant Pareto optimal designs shown in Fig. 7
operate at switching frequencies under 150 kHz, whereas most of
the MIL-STD compliant Pareto optimal designs have switching
frequencies that exceed 150 kHz. This is understandable, as
FCC/CISPR regulations impose no restrictions on emissions
below 150 kHz.

B. LLC DC-DC Stage Design

The dc—dc stage of the isolated ac—dc converter needs to
step down the 400-V dc bus voltage to 28 V required by the
load. For the LLC dc—dc stage optimization, various inverter
and rectifier topologies are considered as shown in Figs. 8 and
9, respectively. For each of these inverter and rectifier combina-
tions, the resonant tank is designed based on the optimization
methodology presented in [48]. During the design process, only
GaN transistors are considered for the inverter switches owing
to their lower output capacitance compared to Si-MOSFETs.
This facilitates ZVS with minimal circulating currents, thereby
reducing conduction losses in the inverter switches and winding
losses in the LLC transformer and resonant inductor. Moreover,
this enables higher switching frequency operation of the LLC
dc—dc stage, and, therefore, the LLC dc—dc stage is designed
to operate across a switching frequency range of 300 kHz to
1 MHz.

For the LLC inverter, three topologies were considered as
shown in Fig. 8. A full-bridge inverter topology is shown in
Fig. 8(a). Each half-bridge leg in this topology operates at 50%
duty ratio and out of phase with each other. This produces a
square wave at the input of the LLC resonant tank with voltage in
the range of +Vpys and —Vgys. For the converter specifications
listed in Table I, a half-bridge inverter can also be utilized
and is shown in Fig. 8(b). This inverter operates with a 50%
duty ratio generating a square-wave voltage in the range of
+Vpgus and 0 at the input of the resonant tank. This results in
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Fig. 8. Inverter circuit topologies considered for the design of the LLC dc—dc
stage. (a) Full-bridge inverter. (b) Half-bridge inverter. (c) Variable frequency

multiplier (VEX).
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Fig. 9. Rectifier circuit topologies considered for the design of the LLC dc—dc
stage. (a) Bridge rectifier. (b) Full-wave rectifier.
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a natural step down of the dc bus voltage by a factor of two as
compared to the full-bridge inverter and reduces the step-down
burden on the LLC dc—dc stage. Moreover, this topology has
one switch in series with the tank current, which can lead to a
lower overall conduction loss in the LLC dc—dc stage. Fig. 8(c)
shows a variable-frequency-multiplier (VEX) topology for LLC
inverters [49], [50]. This topology utilizes two stacked capacitors
at the input with a half-bridge connected across each capacitor.
With appropriate control of the switches, the voltage across each
half-bridge is reduced by a factor of two, thereby allowing low
voltage rated switches to be used. The VFX also operates at
half switching frequency as compared to the other two inverter
topologies which reduces the turn-OFF losses associated with
each inverter switch. Moreover, the inverter topology provides a
step-down of the dc bus voltage by a factor of two as compared
to the half-bridge inverter (factor of four if compared with a
full-bridge inverter) which reduces the step-down burden on the
LLC dc—dc stage and its transformer. However, the topology
requires two switches to come in series with the resonant tank
current which can increase the overall conduction loss. The
choice of inverter topology also affects the voltage rating of the
LLCresonant capacitor, where a full-bridge inverter will result in
the lowest voltage rating and half-bridge inverter will require the
highest voltage rating capacitor. However, the difference in the
size of the resonant capacitor will have minimal impact on the
volume of the overall converter and therefore this effect is con-
sidered negligible during the optimization of the LLC converter.
To estimate the efficiency of the LLC dc—dc stage, conduction,
turn-OFF, and gate-drive losses are computed for each of these
inverter implementations and are summarized in Fig. 10(a) for
the best-in-class commercially available GaN transistors. As can
be seen from the figure, conduction loss is the most dominant
loss mechanism in the LLC inverter topologies. Based on the
loss calculations, the half-bridge inverter results in the lowest
overall inverter loss. Therefore, the half-bridge inverter topology
is chosen for the final LLC dc—dc stage implementation.
Similarly, two topologies are considered for the LLC rectifier
as shown in Fig. 9. Fig. 9(a) shows a bridge rectifier comprising
four switches with switches Qg and Qg operating in-phase and
switches Q7 and Q1o operating in-phase, depending on the
direction of rectifier input current ... A full-wave rectifier
topology is also considered for the proposed converter and
is shown in Fig. 9(b). This topology utilizes two switches,
each blocking twice the voltage as compared to the switches
in a full-bridge rectifier. This type of rectifier also requires a
dual-secondary center-tapped winding architecture of the LLC
transformer where each secondary winding only conducts during
a half switching period of the LLC dc—dc stage. An advantage
of this topology is that the rectifier switches can be driven using
two low-side gate drivers reducing gate drive complexity.
Based on the specifications of the LLC dc—dc stage, conduc-
tion and gate-drive losses for each of the two rectifier topolo-
gies are computed and compared. Moreover, while designing
the rectifiers, several GaN transistors and Si-MOSFETSs were
considered and the type of device with the best overall perfor-
mance was used for loss analysis. Based on this analysis, it is
observed that even though Si-MOSFETs have higher gate-drive
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losses, they result in better performance because of their lower
ON-state resistance, lower source—drain forward voltage drop
(0.9 V versus 1.5 V), and better thermal characteristics for both
rectifier topologies. A summary of the losses in both rectifier
topologies is shown in Fig. 10(b). As can be seen from the
figure, the gate-drive losses account for a substantial portion
of the overall rectifier losses. Based on the computations, the
full-wave rectifier implementation shown in Fig. 9(b) is found
to be the most efficient among the two rectifier topologies and is
therefore chosen for final LLC implementation. The optimal LLC
implementation comprises a half-bridge inverter and a full-wave
rectifier.

The final topology of the end-to-end isolated ac—dc converter
is shown in Fig. 11. In this design, a three-stage DM EMI filter
isutilized (with Ly = Lo = Lg = 11uHand C; = Cy = C5 =
1 pF) to attenuate the input current noise.
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III. PFC CONTROLLER IMPLEMENTATION

A digital controller based BCM control is utilized for the
soft-switched totem-pole boost PFC stage. To ensure BCM
operation of the PFC stage, a zero-current detection (ZCD)
circuit is utilized, which generates a trigger when the inductor
current crosses the zero-current mark. The trigger is sensed by
the controller to turn-OFF the synchronous switch (Q> when the
input voltage is positive, and (1 when the input voltage is
negative, according to the circuit illustrated in Fig. 11) and start
the next switching cycle. In an ideal case, when ZCD sensor,
control, and gate drive delays are negligible, the inductor current
resembles a waveshape as shown in Fig. 3(b). In this case, the
PFC stage’s high-frequency switches (Q; and Qo) naturally
achieve ZVS when the inductor current is brought to zero at
the end of the switching period and input voltage vy satisfies
uiN < Vius/2. However, for input voltages greater than Vgys /2,
the synchronous switch (Q2 when input voltage is positive and
Q1 when input voltage is negative) needs to be kept on for
an additional duration of time beyond the zero crossing of the
instantaneous inductor current to allow inductor current to build
to a minimum value given by

. 2C
izvs < —\/ LPC;ZS Vius (2 |uin| — Vius) (D

where Coss is the output capacitance of the boost switches, Lpgc
is the PFC inductance, Vpys is the instantaneous dc bus voltage,
and vy is the instantaneous input voltage [51], [52]. Given this
constraint, the ZCD circuit trigger is set such that the boost
switches achieve full ZVS across the entire input voltage line
cycle.

In practice, a delay is also present in the ZCD sensing circuit,
digital controller, and gate drive. This delay results in an extra
build-up of reverse current flowing through the inductor than is
required to achieve ZVS. This extra inductor current is given by

~ Vius — [Vin|
Lprc

lextra =

Tdelay (2)

where Tyl is the cumulative sensor, control, and gate drive
delay. As is evident from (2), the effect of this delay is most
prominent when the input voltage is low since the voltage
across the PFC inductor is highest. If this delay is ignored
during the design of the BCM controller, it causes the average
inductor current to fall, as illustrated in Fig. 12(a) [53]. As
can be seen from the figure, at instantaneous input voltage
magnitudes below a certain value, the product of input voltage
vy and input current (4y,) is negative and the instantaneous input
power is being transferred back toward the input voltage source
increasing circulating currents and causing higher conduction
losses. To mitigate this effect, the PFC converter is generally
switched-OFF at such low input voltages introducing dead bands
in the inductor current. Fig. 12(b) shows the inductor current 7,
and its average value (ir,) in the presence of such dead bands. As
can be seen, these dead bands introduce distortion in the input
current waveshape and consequently affect the input current total
harmonic distortion (THD) and power factor.

To preserve a good input current waveshape and to improve
the input power factor in the presence of sensor, control, and
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Fig. 11.  Final topology of the isolated ac—dc converter.
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lL
(i)
(a)
VIN ]
L
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(b)
Fig. 12. Time exaggerated view of PFC stage’s inductor current 71, and its

average value (i1,) while it is operating under BCM (a) in the presence of sensor,
control, and gate drive delays, and (b) when dead bands are introduced at low
input voltages causing distortion in the input current waveshape.

gate drive delays, a new PFC control strategy is also presented
in this article. The new PFC control strategy considers the delays
and the resultant extra inductor current in the PFC inductance
lexira and based on this information, computes the ON-time for
the boost main switch (Q; when the input voltage is positive
and Q2 when the input voltage is negative). Fig. 13 shows the
state plane diagram of the inductor current and the switch-node
voltage for a boost converter. As can be seen, in the presence of
delays Tielay, an additional ON-time given by ton extra = 2tvar 1S
needed to maintain the average inductor current at its required
value. This additional time ({oN exira) 18 @ function of input and
dc bus voltages as well as PFC circuit resonant parameters and
is given by

2\/ 2L CCO i2‘ BLPFC
tON,extra = SV DA O VB2US - 2VBUS |'UIN| + _
[UIN | 2Coss
(3
where i,in B 1S given by
Z'min,B = ‘iextra| + ‘iZCD‘ (4)

iLZo
With T,
tvar delay
Without Ty
4
t .
P+ Zoiayg
Usw
< T v >
VIN BUS
tvar \\ 1' )
; [
—Zolfinal extra

Fig. 13.  State-plane diagram of a boost converter without any delays Tielay
(dotted red line) and in the presence of delays Tyelay With the proposed PFC

control strategy (solid red line). Here, Zj is given by

LP)FC and 41, and

2Coss
vgw are state parameters.

where izcp is the current level at which the ZCD circuit is con-
figured to generate a trigger. Fig. 14(a) shows the extra ON-time
tON,extra Tequired to maintain the input current waveshape while
the PFC stage is operating at 120V, s, and the dc bus is regulated
at400 V. As can be seen from the figure, ton cxira Varies inversely
with the input voltage. Accurately computing this additional
ON-time toN,extra Dased on (3) will substantially increase the
controller computational overhead, which will affect the control
complexity.

To overcome this hurdle, this article proposes a simpler im-
plementation for this additional ON-time based on a curve fit
approximation. The curve fit utilized is of the form foN exira =
a/viN + (3, where the constants « and 3 can be found by curve
fitting the ON-time plot of Fig. 14(a). Fig. 14(b) shows the error
between the actual and curve-fitted toN cxira Values. As can be
seen, the percentage error remains below 8.5% across the full
input voltage line cycle. Also, the error remains below 1% at low
voltage values (near zero crossing of the input voltage where the
effect of delay Tyeray is most prominent), resulting in a negligible
difference between actual and curve-fitted ton exira Values. The
overall control architecture of the PFC stage is summarized in
Fig. 15. As can be seen, the effective ON-time of the main switch
is given by ton = tpr + ton,exira. Here, tpy regulates the output
power of the PFC stage and is generated by a low-bandwidth
dc bus voltage control loop and toN,exira helps maintain the
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Fig. 15. Proposed control architecture for the totem-pole boost PFC stage.

waveshape of the average input current by compensating for
sensor, control, and gate drive delay (Tgelay).

The proposed PFC control strategy is simulated in PLECS
to investigate the effect of Tye1ay on the input current THD and
the input power factor. Fig. 16 shows the input current THD
and input power factor as a function of rms input voltage in the
presence of Tgelay While the converter is powering a 1-kW load.
As can be seen, the performance of the PFC stage improves
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Fig. 16. Performance of the BCM totem-pole boost PFC stage operating at
1-kW output power as a function of input voltage in the presence of sensing,
control, and gate-drive delay Tjelay With and without delay compensation in the
PFC control loop. (a) Input current THD. (b) Input power factor.

considerably with the proposed control (with the T,y compen-
sation) and the converter maintains an input current THD of less
than 5% and an input power factor of greater than 0.97 across the
entire input voltage range. Based on the collected data, a THD
reduction of at least 42% can be achieved if the proposed Tjelay
compensation is incorporated in the control of the PFC stage.

The EMI compliance of the proposed ac—dc converter is
also evaluated while utilizing the proposed PFC control strat-
egy in the optimized ac—dc converter design of Section II.
The MIL-STD-461G EMI compliance is typically evaluated at
115V, s line voltage with noise limits shown in solid-blue line
on Fig. 17(a). Moreover, at the high-line (260V, s input voltage)
the noise limits are relaxed by 9 dBpV as indicated by dotted red
line in Fig. 17(b). As can be seen from the figures, the proposed
ac—dc converter design meets the MIL-STD-461G noise limits
while utilizing the optimized DM EMI filter of the PFC stage
for both nominal (115V,,s) and high-line (260V,,s) ac input
voltages.

IV. LLC INPUT CURRENT BASED DROOP CONTROLLER

The LLC dc—dc converter stage provides galvanic isolation
and regulates the output voltage of the proposed ac—dc converter
at 28V. Therefore, the LLC controller must comprise an output
voltage controller similar to those discussed in [54] and [55].
Additionally, the proposed ac—dc converter also needs to operate
in parallel with multiple other similar modules to accommodate a
higher output power than the maximum rating of each individual
module. While several off-the-shelf LLC controller ICs exist
which can provide output voltage regulation in LLC converters,



SHAHZAD et al.: HIGH-POWER-DENSITY HIGH-EFFICIENCY SOFT-SWITCHED SINGLE-PHASE UNIVERSAL-INPUT

100
=—=MIL-STD-461G-115V
\ Input Current Spectrum
= 50
m
)
2
Z 0
10* 10° 10° 107
Frequency (Hz)
(a)
ok ‘ — MIL-STD-461G-115V
100 Input Current Spectrum
~ = = MIL-STD-461G-260V
I ) o I U o R | R o e
=
=
5,60
&
'S 40
=4
20
0 ‘ | 1
10* 10° 10° 107
Frequency (Hz)
(b)

Fig. 17.  Input current harmonic spectrum with the MIL-STD-461G require-
ments at (a) 115V s and (b) 260V input ac voltages.

at the time of this research, none of the LLC controllers support
parallel operation of LLC converters. Therefore, this article
also presents a new droop control strategy to achieve parallel
operation of multiple LLC dc—dc (and hence isolated ac—dc)
converters. The proposed droop control strategy varies the output
voltage of the LLC dc—dc stage based on its output power.

A control architecture for a conventional output-current based
droop controller is shown in Fig. 18(a). In the conventional droop
control strategy, the output current is sensed by the controller and
the reference for the output voltage vour,ret is computed based
on the following control law:

VOUT,ref (t) = VOUT,max — lout (t) Rdroop (5)

where Vourt,max 18 the maximum output voltage corresponding
to no-load at the output port, ioyr(¢) is the instantaneous output
current, and Rgroop 18 the virtual droop resistance given by

Raroop = AVour/Alourt (6)

where AVoyr is the maximum allowable variation in the output
voltage, and Alpyr is the maximum variation in output current
across the full output power range of the converter. As can be
seen from (5), if a module is delivering higher output current
iour than other modules in its parallel, its droop controller will
reduce the voltage reference voyr ref to its voltage control loop
thereby limiting the amount of power being processed by the
module. This shifts the power delivery burden to other parallel
modules, which increase their output current eventually enabling
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Fig. 18.  Droop control architecture for LLC dc—dc stage. (a) Conventional
output current based droop control. (b) Proposed input current based droop
control strategy.

equal current (and output power) distribution in the system. To
implement this control strategy, an additional output current
sensor is required for the conventional droop control strategy. In
high-power step-down isolated ac—dc power converters, the high
output current is often challenging to sense. This is because of the
power losses in the sensing circuitry, e.g., sensing resistor used
in current-shunt monitors or primary conductor present in hall
effect sensors. To reduce these power losses, the resistance of the
current sense resistor or primary conductor is kept low, which
impacts the sensitivity of the sensor (in mV/A) [56]. Several
techniques are employed to restore the sensitivity of the sensor
while incurring low power losses, however, such techniques
require additional amplification circuitry which increases the
cost of the sensor and its circuit complexity [56]-[59]. Moreover,
to implement an output current based droop control using a
digital controller on the primary side of the LLC transformer,
the sensed output current information needs to be conveyed
to the primary side. Therefore, an isolated current sensor is
required which needs to meet the same isolation rating as the
LLC transformer. This is especially pertinent if the isolated ac—dc
converter is being designed for certain military or medical appli-
cations which require reinforced isolation, e.g., up to 5000V 5
in UL 1577. Therefore, the use of an isolated current sensor for
output-current-based droop control in such applications further
introduces implementation challenges and cost concerns for
high-volume design.

To overcome these challenges, a new LLC input current based
droop control strategy is proposed in this article which estimates
the magnitude of the output current of the LLC dc—dc stage by
instead sensing its input current. This is beneficial as the input
current is much lower in magnitude than the output current and
therefore simpler current sensing techniques can be leveraged
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Fig. 19. Effect of twice-line-frequency dc bus voltage ripple on the output
voltage reference of the LLC dc—dc stage’s input current based droop controller:
(a) dcbus voltage, (b) second-stage input current, and (c) output voltage reference
with constant droop resistance (solid red line) and with the proposed variable
droop resistance (dotted blue line).

[56]. Also, the input current of the LLC dc—dc stage can be sensed
with respect to the controller ground (located at the primary side
of the LLC isolation transformer) by either using a simple current
shunt sensor or low current hall effect sensor. Therefore, it does
not interfere with the above-specified isolation constraints. The
control architecture for the proposed LLC input current based
droop control strategy is shown in Fig. 18(b). Based on this
architecture, the output current of the LLC dc—dc stage is given
by

inre (t)nooe
Hrre

iour (1) = (7)
where i1y, .o (1) is the instantaneous input current, 17,z ¢ is the
efficiency, and Hp ¢ is the conversion ratio of the LLC dc—dc
stage given by Vour,nominal/ VBUS,nominal- The control law for the
input current based droop controller is given by

inre (t)nore

HLLC ~Rdr00p- (8)

vouT,ref () = VouT,max —

The above-mentioned control law is adequate if the LLC
dc—dc stage exhibits a constant conversion ratio, i.e., if LLC
is connected to a constant dc bus voltage. However, in two-stage
ac—dc converters, a twice-line-frequency voltage ripple appears
across the dc bus due to the PFC operation performed by the
front-end PFC stage, as shown in Fig. 19(a). Since the LLC
dc—dc stage is regulating its output voltage, its output power and
hence its input power will be constant given the load impedance
is unchanged. Consequently, any increase (or decrease) in the
LLC dc—dc stage’s input voltage (i.e., the dc bus voltage vpys)
will result in a decrease (or increase) in the input current of the
LLC dc—dc stage (in,z..c), as shown in Fig. 19(b). Since the
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output voltage reference vour rer, as given in (8), depends on
the instantaneous value of the LLC input current ¢y, 7,7.c, any
variation in 7,77, Will cause a similar variation in voUT ref-
This phenomenon is shown in Fig. 19(c) in solid red line. The
ripple in voyr,er observed in Fig. 19(c) will also appear in
the output dc voltage Voyr. Such a ripple is unacceptable in
many point-of-load converters as most applications demand a
stable output dc voltage with a very small steady-state ripple.
Moreover, in parallel operation, such a ripple in the output
voltage can cause currents to flow between modules resulting in
increased circulating currents and related losses. To overcome
this constraint, a variable droop resistance is utilized which
varies in magnitude based on the instantaneous conversion ratio
of the LLC dc—dc stage (vout/vsus). This compensates for the
twice-line-frequency ripple in the input current of the LLC dc—dc
stage and helps ensure a stable output dc-voltage. The variable
droop resistance is given as follows:

NrrLc RarooptBus (&
Td,control (t) - v rOOp(t) ( )
ouT

€))

and the control law for the proposed droop control method is
given as follows:

VOUT,ref (t) - VOUT,max - Z‘IN,LLC (t) -Td,control (t) . (10)

With the LLC dc—dc stage regulating the dc output voltage,
any increase in the instantaneous dc bus voltage will result in
a decrease in the instantaneous input current of the LLC dc—dc
stage. In such a case, with the proposed control law, the variable
droop resistance will be increased by the same factor to cancel
the effect of the reduced input current and result in a constant
output voltage reference for the LLC output voltage control loop.
On the contrary, a decrease in the dc bus voltage will increase
the input current of the LLC dc—dc stage and a decrease in the
variable droop resistance again leading to a constant output
voltage reference. The dotted blue line in Fig. 19(c) shows
the output voltage reference of the LLC dc—dc stage with the
proposed variable droop resistance based control in the presence
of the twice-line-frequency ripple in the dc bus voltage. As can
be seen from Fig. 19(c), the proposed control strategy results in
a constant voltage reference for the LLC output voltage control
loop and hence eliminates the effect of the twice-line-frequency
dc bus voltage ripple to ensure a stable output voltage across the
load.

To evaluate the stability criteria of the proposed input current
based droop control, an analytical model is also developed.
Based on the analysis, the proposed droop controller is stable
if Rgroop 18 smaller than the load resistance. Therefore, this
constraint needs to be considered when designing the droop
resistance. The detailed analysis and derivation of the stability
criteria are provided in Appendix B.

V. PROTOTYPE DESIGN AND EXPERIMENTAL RESULTS

A 1-kW prototype ac—dc converter, based on the specifications
of Table I, utilizing the optimized design and proposed control
schemes is built and tested. A photograph of the prototype is
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Fig. 20.  Photograph of the prototype 1-kW universal input to 28-V isolated
soft-switched ac—dc converter, which achieves a power density of 84 W/in®
(5.13 mW/mm?).

(@) (b)

Fig. 21. 3-D images of magnetics used in the proposed ac—dc converter:
(a) PFC inductor utilizing a planar RM core. (b) LLC transformer utilizing a
modified PQ core.

shown in Fig. 20. The prototype converter achieves an overall
power density of 84 W/in3 (5.13 W/cm?). The converter utilizes
low-profile magnetic cores with planar winding to implement
the PFC inductor and LLC transformer as shown in Fig. 21.
The magnetics design is optimized in a 3-D finite-element-
modeling software (Ansys HFSS) to maximize efficiency. The
PCB stack-up for the planar magnetics is shown in Fig. 21. A 4
oz. copper eight-layer PCB is utilized to implement seven turns
of the PFC inductor and two 4 oz. copper eight-layer PCBs
are used to implement the interleaved primary and secondary
turns of the LLC transformer as shown in Fig 22(a) and (b),
respectively. A 200-MHz 32-bit digital controller is utilized
to implement the closed-loop control in the PFC and the LLC
dc—dc stage of the converter. The ZCD circuitry used to ensure
BCM operation in the PFC controller is shown in Fig. 23. The
circuit utilizes a current sense resistor in series with the PFC
inductor. The voltage drop across this resistor is amplified using
a high-bandwidth voltage amplifier circuit and the output of
the amplifier is fed to high-speed comparators to generate two
triggers when the inductor current crosses zero. Each trigger
is utilized in either the positive or negative half-line cycle of
the input ac voltage and resets the PWM counter in the digital
controller. For sensing the input current of the LLC dc—dc stage,
a hall effect sensor is connected between positive terminal of the
dc bus capacitor and the LLC inverter switch Q5. Further details
about the components used in the prototype ac—dc converter are
listed in Table III.
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Fig. 24.  Experimentally measured steady-state waveforms of the converter.
(a) Input voltage (60 V/div), input current (20 A/div), and dc bus voltage of the
PFC stage (110 V/div). (b) DC bus voltage (65 V/div), PFC inductor current
(20 A/div), LLC switch-node voltage (250 V/div), and LLC output voltage
(10 V/div), when a 120V,y,5 ac voltage is applied to the input of the converter.
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TABLE III
COMPONENTS USED IN THE PROTOTYPE ISOLATED AC-DC CONVERTERS

Component Value Description
275-V Polypropylene X2
Cr1, Crz2, Cp3 1uF )
film capacitor
Lo L Ll Magnetics Inc.
F iz : 125u core, 20 turns
S 5.5 S 650-V, 60-A
o GaN E-HEMT
600-V, 75-A
SS' S4_ -
Si MOSFET
80-V, 300-A
S7I S8 -
Si MOSFET
RM-14 EPCOS N49
Lprc 15pH
(7 turns)
RM-10 EPCOS N49
Lr 3.1pH
(3 turns)
LLC transformer
Liic 31uH magnetizing inductance
(Tore)
Tirc 7:1:1 PQ-32/20 EPCOS N49
450-V Aluminum
CBUS 39OIJF
electrolytic capacitor
630-V COG/NPO Ceramic
Cr 33nF )
capacitor
50-V Aluminum
COUT 220IJF

electrolytic capacitor

Fig. 24 shows the experimentally measured steady-state wave-
forms of the ac—dc converter. As can be seen from Fig. 24(a), the
input current is sinusoidal and in-phase with the input voltage
and dc bus voltage is regulated at 400 V validating the operation
of the PFC controller. The slight distortion in the input current
near the zero crossing is caused by the converter being turned OFF
near the line voltage zero crossings to prevent an uncontrolled
rise in the PFC inductor current due to any error in the polarity of
the sensed input voltage. This distortion is more pronounced in
the negative half cycle due to an offset in the sensed input voltage
which causes the converter to stay OFF for a longer period during
the negative half cycle than the positive half cycle. However,
this slight distortion does not materially affect the sinusoidal
waveshape and phase of the input current and the PFC stage
achieves a high input power factor as is shown later in this
section.

Fig. 24(b) shows the zoomed-in steady-state waveform of the
ac—dc converter. As can be seen in the figure, the inductor current
crosses zero in each switching cycle verifying BCM operation

IEEE TRANSACTIONS ON POWER ELECTRONICS, VOL. 37, NO. 7, JULY 2022

98

96 f

e}
=

Efficiency (%)

92+

90 : : : :
10 30 50 70 90
Output Power (%)
(@)

110

O
(e}

NeJ O
Ea (o)}

Efficiency (%)

Rel
[\

O
(=}

30 50 70 90
Output Power (%)
(b)

[uny
(=}

110

e}
~

o] O Ne)
[oe] o N
T T T

Efficiency (%)

[ee]
o)}

o]
~

30 50 70 90
Output Power (%)
(©)

[u=y
o

110

Fig.25. Experimentally measured efficiencies of the proposed ac—dc converter
as a function of output load. (a) PFC stage converting 120-V s, 60-Hz ac input
voltage to a 400-V dc bus voltage across capacitor Cpys, (b) LLC dc—dc stage
converting the 400-V dc bus voltage to 28-V output voltage across the output
load. (c) Full end-to-end isolated ac—dc converter converting the 120-V,ns,
60-Hz ac input voltage to a 28-V output voltage across the output load.

of the PFC stage. Moreover, the output voltage of the LLC dc—dc
stage is regulated at 28 V validating the end-to-end operation of
the ac—dc converter.

Fig. 25 shows the experimentally measured efficiencies of
the proposed ac—dc converter as a function of output power.
Fig. 25(a) shows the efficiency of the PFC stage when it is
converting a 120-V s, 60-Hz input ac voltage to a 400-V dc bus
voltage across the dc bus capacitor while utilizing the proposed
PFC control strategy. As can be seen, the PFC stage maintains a
high conversion efficiency of greater than 97% across a wide
output power range and achieves a peak efficiency 97.4%.
Fig. 25(b) shows the efficiency of the LLC dc—dc stage while
it is converting a 400-V dc bus voltage to a 28-V output voltage.
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Fig. 26.  Experimentally measured efficiency of the prototype isolated ac—dc
converter as a function of input voltage while powering a 1-kW load.

The LLC dc—dc stage maintains an efficiency of greater than 96%
across the majority of output power range and achieves a peak
efficiency of 97%. The end-to-end efficiency of the proposed
ac—dc converter is given in Fig. 25(c). As can be seen from
the figure, the prototype converter maintains a high conversion
efficiency of greater than 90% across 3:1 output power range
and achieves a high peak efficiency of 93.3%.

Furthermore, the performance of the two-stage ac—dc con-
verter is also evaluated across the entire input range. The end-
to-end measured efficiency of the prototype converter when
powering a 1-kW load is shown in Fig. 26. It can be seen that
the efficiency remains greater than 92% across the entire input
voltage range, with a peak efficiency of 94.3%.

The power loss distribution based on the theoretical loss
models of the PFC stage and LLC dc—dc stage while the proposed
ac—dc converter is operating at an input ac voltage of 120V, s,
nominal dc bus voltage of 400 V, output dc voltage of 28 V,
and output power of 1 kW, is shown in Fig. 27(a) and (b),
respectively. As can be seen, the dominant loss mechanism of
PFC stage operating in BCM is the device conduction loss in
switches Q1-Q4. The other dominant loss mechanisms are wind-
ing and core losses in PFC inductor, losses in the EMI filter, and
equivalent series resistance (ESR) losses in the dc bus capacitor,
in decreasing order. There is also a slight turn-OFF loss in the
PFC stage switches, which results in some device switching loss.
In the LLC dc—dc stage, the dominant loss mechanisms are the
winding and core losses in the transformer. This is followed
by the losses in rectifier switches Q7-Qg, and inverter switches
Q5-Qg, winding and core losses in the resonant inductor, and
losses in planar PCB interconnects, PCB traces, and the resonant
capacitor, in decreasing order.

The input power factor of the ac—dc converter is also measured
experimentally and is shown in Fig. 28. The converter maintains
a high input power factor above 0.98 across 4:1 output power
range and achieves a near-unity input power factor of 0.997
at the rated output power of 1 kW. Hence, the experimental
data validates the efficacy of the proposed control strategy and
verifies the PFC operation of the ac—dc converter. The power
factor as the function of input voltage is also measured while
the prototype converter is powering a 1-kW load, as shown in
Fig. 29. As can be seen from the figure, the power factor remains
greater than 0.95 across a wide range of input voltage.
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Fig. 27. Detailed loss breakdowns of (a) PFC stage and (b) LLC dc—dc stage
based on the theoretical loss models when the proposed ac—dc converter is
operating at an input ac voltage of 120V ,s, nominal dc bus voltage of 400 V,
output dc voltage of 28 V, and output power of 1 kW.
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Fig. 28.  Experimentally measured input power factor of the proposed ac—dc
converter as a function of output power when a 120-V,,5 60-Hz ac input voltage
is converted to a 28-V dc output voltage.

Fig. 30 shows the experimentally measured steady-state wave-
forms of two ac—dc converters operating in parallel. Fig. 30(a)
shows the output voltage (across the shared load) and output
currents of both ac—dc converters with the voltage control loop
active and with the current sharing controller deactivated (with-
out any droop control). It can be seen that with just the voltage



8276

Power Factor
I ©
O O
[e)} (o]
A4

o
O
=

0.92
120

140 160 180 200
RMS Input Voltage (V)

220

Fig.29. Experimentally measured input power factor of the prototype isolated
ac—dc converter as a function of input voltage while powering a 1-kW load.
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Fig. 30. Experimentally measured steady-state waveforms of two converters
connected in parallel. (a) Output currents of converters 1 and 2 (5 A/div), and
output voltage across the load with the current-sharing controller turned-OFF
(5 V/div). (b) Output currents of converters 1 and 2 (5 A/div), dc bus voltage
of converter 1 (60 V/div), and output voltage across the load with the proposed
current sharing controller turned-ON (5 V/div).

control loop operating in each converter, the output currents are
highly imbalanced with the converter 1 delivering the entire load
current, and the two converters do not naturally share any output
current. Fig. 30(b) shows the output voltage (across the shared
load), output current of both converters, and dc bus voltage of
converter 1 with the proposed LLC input current based droop
control active. As can be seen, the output currents of both
converter modules are well balanced, while the output voltage
is regulated at 28 V and dc bus voltage of the converter 1 is
regulated at 400 V.

Fig. 31 shows the experimentally measured output voltage as a
function of output power when two 1-kW rated ac—dc converters
are connected in parallel. It can be seen that the output voltage
drops with output load. Based on this drop in output voltage, the

IEEE TRANSACTIONS ON POWER ELECTRONICS, VOL. 37, NO. 7, JULY 2022

28.5 . 5 ;\g
—
28.4 |4 8
s}
. 283 Output Voltage -
& 13 9
I =
5282 n 3
o 7 2 E
> 28.1+ Current @
Distribution ® a
1 1 JE
28t Error S
>
]
27.9 .= : 03
0 0.5 1 1.5 2
pOUT (kw)

Fig.31. Experimentally measured output voltage and current distribution error
of the paralleled converter modules powering a common output load while
utilizing the proposed droop control strategy. Here, 1 kW represents 100% load,
which is the maximum power rating of a single ac—dc converter module.

virtual droop resistance Rroop is measured to be 8.6 m (2. Fig. 30
also shows the percentage current distribution error (CDE) be-
tween the two ac—dc converter modules connected in parallel.

: Iout1—Iour,ideal | | four2 —IOUT,ideal
The CDE is defined as max (| === oo 1) and

is the deviation of output current of each parallel-connected
module (i.e., Ioyrt,1 and Ioyr,2) from the nominal output current
of each module (under perfect current distribution) oyt ideal- AS
can be seen from Fig. 31, the CDE remains below 5% for the
entire test range and below 2% for power levels exceeding 650 W.
Moreover, the measured CDE is below 0.3% near the maximum
total output power of 2 kW thereby validating the efficacy of the
proposed LLC input current based droop controller.

)|

VI. CONCLUSION

This article presents a high-power-density high-efficiency
soft-switched single-phase universal-input to 28-V isolated ac—
dc converter module designed for parallel operation. The pro-
posed two-stage converter utilizes a totem-pole bridgeless boost
PFC stage followed by an isolated LLC resonant dc—dc stage.
A new comprehensive design methodology is presented, which
compares various designs and operating modes for the converter
modules’ power stage and selects the optimal design based on
overall power density and efficiency. For the selected design,
a control scheme is presented for the PFC stage to minimize
current distortion by accounting for various sensor, control, and
gate-drive delays while ensuring ZVS of the transistors. Addi-
tionally, a new droop control strategy is presented, which em-
ploys the input current of the secondary dc—dc conversion stage
to enable equal output current distribution between paralleled
modules when powering a common output load. To validate the
proposed design and control strategy, two 1-kW universal-input
to 28-V isolated ac—dc converter modules are built and tested.
Each prototype converter module achieves a high power density
of 84 W/in? (5.13 W/cm?) and a peak efficiency of greater than
93% while ensuring a current distribution error of less than 0.3%
when operating in parallel to deliver the maximum output power
of 2 kW.
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APPENDIX A

Loss CALCULATION AND DEVICE SELECTION METHODOLOGY
USED IN THE DESIGN OF THE PROPOSED ISOLATED AC-DC
CONVERTER MODULES

This appendix provides the loss calculations and device se-
lection methodology used in the design of the proposed isolated
ac—dc converter. The loss calculations estimate the efficiency
and loss breakdown by accounting for various losses in tran-
sistors, magnetics (inductor and transformer), and capacitors as
highlighted in the following.

1) Device Selection

To select transistors for use in the isolated ac—dc converter,
several commercial GaN and Si transistors are compared for
each of the following set of switches:

1) boost high-frequency switches;

2) boost low-frequency switches;

3) LLC inverter switches;

4) LLC rectifier switches.

For boost and LLC high-frequency switches Q; , Q2, Qs,
and Qg, a figure of merit based on transistor ON-resistance
and output capacitance (Rps,on X Coss) is used to compare
the best-in-class transistors in the voltage range of 500 to
650 V, reducing conduction and switching losses. For boost
low-frequency switches (Q3 and Q) lowest Rps on transistor
is chosen between a voltage range of 500 to 650 V, reducing
conduction losses, and for LLC high-frequency rectifier switches
(Q7 and Qg) a figure of merit based on transistor ON-resistance
and gate charge (Rps,oN X Qgate) 1S Used to compare the best-
in-class transistors in the voltage range of 80-100 V reducing
conduction and gate-drive losses.

a) Transistor Selection and Loss Computation: Once the
appropriate devices are selected, an analytical loss model is
used to estimate conduction, switching, and gate-drive losses
for both stages of the proposed isolated ac—dc converter. For the
PFC stage, the current in each transistor is computed (across
a line cycle) for the entire design space associated with the
CCM and BCM operation of the converter. For the LLC stage,
fundamental harmonic approximation is utilized to obtain the
resonant tank current for the various considered inverter and
rectifier topologies. The transistor forward conduction losses
are computed using

P tc 1D

2
= I 1ms Rps,on

where I iy is the rms current through the transistor and Rps on
is the ON-state resistance of the transistor. Transistor reverse
conduction losses (during the deadtime) are also computed as

Pt,dt - It,d,avg VSDtdt.fs (12)

where I; 4 ay, is the average current through the switch during the
deadtime ¢4, f; is the switching frequency, and Vgp is the source-
to-drain voltage drop obtained from the transistor’s datasheet.
For transistor switching losses, three loss mechanisms are
considered: turn-ON overlap loss, turn-OFF overlap loss, and
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output capacitor loss. The turn-ON v-i overlap loss is given by
Poon = fs % [§™ vps (t) X ips (t) dt (13)

where vpg and ipg are the transistor drain-to-source voltage and
current during the switching event and ¢oy is the time taken from
the transistor gate voltage rising to threshold to the transistor
drain voltage falling to zero. This toy is obtained by simulating
transistor SPICE model provided by the manufacturer for a given
gate turn-ON resistance.

Similarly, the transistor turn-OFF losses are estimated by cal-
culating the v—: overlap losses during the turn-OFF transition
using the following equation:

Py orr = fs X [§7F ups (t) x ips (1) dt

where topr is the time taken from the transistor drain voltage
rising above zero to the transistor gate voltage falling below
the threshold voltage. This topp is obtained by simulating the
transistor SPICE model provided by the manufacturer for a
given gate turn-OFF resistance. During the turn-OFF process,
the current is assumed to fall linearly to zero with time. As
the transistor current is falling, the inductor current (for PFC
stage) or resonant tank current (for LLC) flows into the transistor
output capacitance resulting in a quadratic rise in drain-to-source
voltage (vpg). For this case, (14) is given as

(14)

idrrtdres

480035
where igpp is the transistor current at the turn-OFF instant and
Coss is the output capacitance of the transistor. For Cpgss, the
charge-related output capacitance value given in transistor data
sheet is used.

Transistor output capacitance losses are also a significant
loss mechanism in CCM designs of the PFC stage where the
transistors Q1 (when input voltage is positive) or Qo (when input
voltage is negative) are turning ON under hard-switching. These
losses can be computed using the following expression:

2
P oss = CossVays fs-

Based on the three switching loss mechanisms given in (13),
(15), and (16), the total transistors switching losses are calcu-
lated by the following equation:

Pi.orr = (15)

(16)

P s = P, on + P orr + P oss- (17)

The transistors’ gate drive losses are also computed in the loss
model using the following equation:

Pt,g - QG VGst

where () is the total gate charge of the transistor (obtained from
transistors’ data sheet) and Vg is the gate-to-source voltage of
the transistors. The total transistor losses can be computed by
adding (11), (12), (17), and (18) and are given by

(18)

Pt,s :Pt,fc +Pt,dt+Pt,s+Pt,g- (19)

b) Magnetic Losses: Two loss mechanisms are considered
for estimating magnetic (inductor and transformer) losses: wind-
ing losses and core losses. Winding losses are computed using
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the following equation:

2
Pwinding: E Irms,iRACJ'

where Iins ; is the rms value of the ith harmonic of the winding
current and Rac,; is the ac resistance of the winding at the
ith harmonic frequency. During the optimization of the PFC
stage, Litz-wire based nonplanar designs are considered for the
inductor. For such designs, ac resistance is calculated based on
(2) presented in Section II of [60], which accounts for both skin
and proximity losses. However, for hardware prototype, planar
implementation of the magnetics is chosen to reduce the height
of the inductor and transformers, and the ac resistance is then
recomputed by exporting the 3-D model of the magnetic and
planar PCB structures into a 3-D finite element analysis software
Ansys HFSS.

The core losses in the magnetics are calculated using (9) (im-
proved generalized Steinmetz equation—IGSE) given in Section
II of [61]. Ferrite material parameters are required to solve the
IGSE which are obtained by curve fitting the core loss density
curves given in the ferrite material’s datasheet using the basic
Steinmetz equation Prore pasic = Kk X f¢ X Bpﬁk, where By is
the peak value of the sinusoidal flux density excitation, f is the
frequency of the excitation, and &, «, and (3 are the core material
parameters.

¢) Capacitor Losses: Capacitor losses are computed using
the following equation:

(20)

21

where Iy gsr is the rms current flowing through the capacitor
and Rgsr is the equivalent series resistance of the capacitor
obtained from the capacitor’s datasheet.

2
Pcap, ESR — Icap’rms RESR

APPENDIX B

ANALYTICAL MODEL TO DERIVE THE STABILITY LIMITS FOR
THE PROPOSED INPUT CURRENT BASED DROOP CONTROL
STRATEGY

This appendix presents an analytical model to determine the
stability criteria for the LLC converter under the proposed input
current based droop controller. For the proposed droop control,
the underlying control law is given by

vouTref (t) = Vour,max — N, oo (t) Tdconrol (£)  (22)

R ¢ .
where 74 control (t) = m%;{;i;"("gm“ . Since the control law

is nonlinear, it can be linearized around the nominal operating
point to obtain a small-signal model, as given in the following
equation:

) _ OvouT,ref - OUOUT,ref
VOUT,ref = Fr— UN,LLC T Do VouT
IN,LLC ouT
OVOUT ref
e s (23)

BUS-
OuBus

These partial derivatives in (23) are defined and evaluated as
follows:

OVOUT et _NLLc Raroop VBUS

=i (24)

0N, LLC Vour
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Output Voltage Regulation

Fig. 32.  Small-signal model of the droop control and the output voltage
regulation loop.

OVOUT ref f NzLc Raroop VBus N, LLC
JUouTeet _ p _

= (25)
aUOUT VOUT2
_ Ovourref = f = nrrcRaroopliN,LLC . 26)
(%BUS VOUT

The small-signal model of the LLC converter with output
voltage regulation under droop control is shown in Fig. 32.

Under output voltage regulation, the output voltage is related
to the reference voltage by

T
14+T

where ' = Grrc Gyy is the loop gain of the output voltage
regulation loop. Since the output voltage regulation loop’s band-
width is kept significantly higher than the bandwidth of the droop
controller (atleast an order of magnitude), the loop gain of output
voltage regulation loop is high at the frequencies of interest for
droop control. This ensures accurate output voltage reference
tracking, and hence Yoyt = Uoutrer holds for the analysis of
droop control. With this simplification (23) reduces to

R -K
VOUT,ref =
’ 1—f2

Uout = DOUT, ref (27)

(VBUSiIN7LLC + IIN,LLC@BUS) (28)

where K = nLL‘/?Rdml)p
out

remains in negative feedback (and stable) if % is positive.
This imposes an upper limit on f5 according to the following:

fa < 1. (29)

This bound translates to an upper limit on droop resistance.
This upper limit is evaluated by substituting (25) into (29) and
is given by

. Hence, the proposed droop control

Rdroop < RLOAD~ (30)

Therefore, the LLC converter under the proposed droop con-
trol is stable if the droop resistance selected is smaller than the
load resistance.
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